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Abstract

An experimental study was conducted for the heat transfer from hot walls to liquid water sprays. Four full cone, swirl
spray nozzles were used at different upstream pressures, giving mass fluxes impinging on the wall, G, from 8 to 80 kg
m~2s~!, mean droplet velocities, U, from 13 to 28 m s~' and mean droplet diameters, D, from 0.4 to 2.2 mm.

A target consisting of two slabs of beryllium—copper alloy, each 4 x5 cm in size and 1.1 mm thick, was electrically
heated to about 300°C and then rapidly and symmetrically cooled by water sprays issuing from two identical nozzles.
The midplane temperature was measured by a fast response, thin-foil thermocouple and the experimental data were
regularized by Gaussian filtering.

The inverse heat conduction problem was then solved by an approximation of the exact Stefan solution to yield the
wall temperature T, and the heat flux g, transferred to the spray at temperature 7;. As a result, cooling curves expressing
the heat flux ¢, as a function of T,,— T; were obtained. The single-phase heat transfer coefficient 4 and the maximum
heat flux ¢g. were found to depend upon the mass flux G and the droplet velocity U, while the droplet size D had a
negligible independent influence. Simple correlations for / and ¢, were proposed. © 1998 Elsevier Science Ltd. All rights
reserved.
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Nomenclature T temperature [K]

A cross-sectional area of the spray at impact, n(Xtg0)* u, U generic and mean droplet velocity [m s~ ']
[m?] x direction normal to wall and out of it [m]
A, nozzle outlet area [m?] X nozzle—target distance [m]

Bi Biot number, hd/A, y smoothed midplane temperature [K].

¢, specific heat at constant pressure [J kg~' K ']

d, D generic and mean droplet diameter [m] Greek symbols

F mass flow peaking factor, GA/m « thermal diffusivity, A/(PCP) [m—z S—l]
G mass flux at spray center [kg m~2s™'] 5 sample half-thickness [m]
h single-phase heat transfer coefficient, ¢./(T,— T} 0 half-opening angle of the spray cone [rad]
[Wm™ K] /. thermal conductivity [W m~' K ']
ri1  total mass flow rate [kg s™'] o density [kg m~’]
p pressure [Nm ] t  conduction time constant, §*/o [s]
g heat flux [Wm™] * convection time constant, function of t and Bi [s].
t time [s]
Subscripts

 — ¢ critical
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f fluid [water]

s solid
sat saturation
w  wall.

1. Introduction

Cooling hot surfaces by liquid sprays is a very effective
process, which may provide heat fluxes in excess of 107
W/m?, and thus is widely used in many industrial fields
like metallurgy [1], microelectronics [2], nuclear safety
[3] and aerospace engineering [4].

Experimental techniques used for heat measurements
can be classified in two categories: steady state and tran-
sient methods.

In steady state experiments, heat transfer rates are
derived from a thermal balance between the (usually elec-
tric) power input into an appropriate sample and the heat
transferred to the spray. Measurements are conducted
over times which are large compared to the time constants
of the system. The application of steady state techniques
is severely limited by the maximum attainable power
densities; for example, a 4 x 5 cm metal slab cooled from
both sides by a heat flux of 107 W/m? would require
an electric power of 40 kW to be kept at a constant
temperature! Moreover, in power-controlled systems it is
practically impossible to maintain steady state conditions
in the unstable region of the heat transfer curve (tran-
sitional, or partial film, boiling). Because of these limi-
tations, steady state methods have usually been confined
to investigations involving low heat transfer rates.

In transient experiments, the target is typically heated
to a uniform high temperature and then rapidly cooled by
the spray while the temperatures at one or more locations
within the sample are recorded. The surface heat flux and
temperature can be calculated from the raw experimental
data by various methods, usually involving smoothing
and solving an inverse heat conduction problem. Tran-
sient techniques are the only viable ones when large heat
flow rates are involved, and thus have been most com-
monly employed in real-scale spray cooling research.

Transient spray cooling tests are usually conducted
under the assumption that, despite the time-dependent
conditions of the measurements, the relation between
wall temperature and wall heat transfer rates is the same
that would be observed under steady state conditions.
This is justified by the fact that the time constants charac-
terizing the impact, spreading and vaporization of an
individual droplet are usually much smaller than the time
constants of the overall cooling transient.

For any given fluid the measured heat transfer rate is
a function of wall and fluid temperatures, local spray
mass flux G, droplet velocity U and size D, and nature
and finishing of the cooled surface. An extensive review
of theoretical and experimental results for liquid spray

cooling up to the late Seventies is given, for example, by
Bolle and Moreau [5].

More recently, Choi and Yao [6] studied heat transfer
to horizontal sprays. Typical values of the hydrodynamic
parameters were G = 0.3-2kgm2s™', U=34m s~
and D = 0.5 mm. Maximum heat fluxes of up to 2 x 10°
W m~? were measured for wall temperatures of ~ 140—
160°C, while the Leidenfrost point temperature was
about 250°C. The influence of air flow on heat transfer
in pneumatic sprays was also discussed.

Bernardin et al. [7] assessed the influence of surface
roughness on water droplet impact history and heat
transfer regimes; they also presented high quality photo-
graphic records of the droplet spreading, taken at 1 ms
intervals. In this study, a single stream of droplets was
produced; the mass flux did not exceed a fraction of kg
m~?s~', yielding maximum cooling rates of the order of
10*°C s~ ! and maximum heat fluxes well below 1 x 10° W
m~2 The maximum heat flux was attained at tem-
peratures of 105-110°C, while the Leidenfrost point tem-
perature varied between 150-200°C. In a subsequent
paper [8], the same authors presented more detailed
results for droplets impacting on a polished surface and
discussed the features of the boiling curve and the way
of obtaining it from time-temperature series.

In both the above studies, the Biot number was well
below one, so that the target could be assumed to be
isothermal at each instant (cooling transients typically
lasted more than 30 s), and no inverse heat conduction
problem had to be solved.

Similar remarks hold for the work of Sawyer et al.
[9], who also considered a single stream of droplets and
presented a correlation for the critical heat flux as a
function of the droplet Weber number and Strouhal num-
ber (dimensionless impact frequency). The mass flux did
not exceed 1-2 kg m~? s™!; maximum heat fluxes were
found to be of the order of 5x 10° W m~2 once adjusted
for the actual wetted area after droplet spreading, and
were attained at wall temperatures of only ~120°C.

On the whole, most of the experimental studies pre-
sented so far have focused on relatively low mass flow
rates or on the film boiling heat transfer regime (wall
temperature above the Leidenfrost point 77 ), while data
on nucleate boiling and single-phase heat transfer at high
mass flow rates are comparatively scarce.

On the contrary, the present investigation focused on
the latter conditions; mass fluxes up to 80 kg m~2 s~!
were considered, giving wall heat fluxes in excess of 107
W m~? and cooling rates above 10°*°C s~!, while the wall
temperature never exceeded 250-270°C (which, accord-
ing to the above literature results, is close to the typical
value of the Leidenfrost point temperature). The study
was motivated by previous research on the influence of
rapid cooling on the structure and properties of poly-
meric films [10], a subject of importance in connection
with the injection moulding of macromolecular materials.
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2. Hydrodynamic characterization of the sprays

The water sprays considered in the present inves-
tigation were generated by full-cone, swirl-spray pressure
nozzles of the TG series, manufactured by Spraying Sys-
tem Co. The principle of a TG nozzle and a typical
droplet impact pattern are sketched in Fig. 1.

From the hydrodynamic point of view, neglecting vari-
ables which are believed to play a minor role (such as the
spatial distribution of the droplets), the main quantities
which characterize locally a spray impacting on a surface
are:

— the mass flux of the spray in the impact area, G;
— the droplet speed u (and its distribution);
— the droplet diameter d (and its distribution).

These quantities can be made to vary in a wide range
by changing the nozzle geometry, the pressure drop Ap
across the nozzle and the nozzle to target distance X.

For the given fluid, ambient pressure and temperature
of the hot surface, the only other parameters which may
affect heat transfer are the degree of subcooling of the
liquid, i.e., its temperature 7, and the surface properties
of the target.

In the present heat transfer measurements, four differ-
ent nozzles were tested (TG1, TG2, TGS and TG10),
characterized by increasing values of the cross-sectional
area and thus of the flow rate obtained for any given
pressure drop.

Prior to heat transfer measurements, a separate study
was conducted in order to characterize the behaviour of
the hydrodynamic impact parameters G, u, d for the
different nozzles as functions of Ap and X [11]. The device

used to generate the sprays is sketched in Fig. 2. An air
compressor was adopted to pressurize up to 10 bar the
water contained in a 24-1 vessel. A large flexible pipe, 1
in (2.54 cm) in diameter, connected the vessel to the
nozzle. Pressure could be read at different points of the
rig; in particular, it was measured immediately upstream
of the nozzle (manometre M2) to obtain the pressure
drop across the nozzle, Ap. The same device, with the
modifications which will be described in Section 3, was
used in the heat transfer tests.

First, the total mass flow s for any given nozzle and
for a given upstream pressure was assessed by simply
measuring the volume of water discharged into a vessel
in a given time (30 or 60 s). Results are summarized in
Fig. 3(a); they lie very close to the theoretical law:
1= CqAo(2pAp)'"? (1
The discharge coefficient C, (computed on the basis of
the nozzle outlet area provided by the manufacturer) was
0.68, 0.80, 0.52 and 0.64 for the nozzles TG1, TG2, TG5
and TG10, respectively.

The mass flux G in the central region of the spray for
a nozzle-target distance X of 50 mm (the same at which
the heat transfer tests were subsequently conducted) was
measured by simply collecting the water crossing in a
given time a circular opening 10 mm in radius (the reason
for this choice is better discussed in Section 6). It is
reasonable to assume that G varies very little in the central
region of the spray, corresponding to a half-opening
angle of only ~10°.

Results are summarized in Fig. 3(b). The behavior of
G is a consequence of the simultaneous variation of the
spray cone half-opening angle 6 and of the mass flow

Fig. 1. Principle and typical droplet impact pattern of a TG-series swirl-spray nozzle.



1160 M. Ciofalo et al.|Int. J. Heat Mass Transfer 42 (1999) 1157-1175

R

ﬁl

i
i

lm||\\\

,lll
’l“

-

Fig. 2. Experimental setup for the characterization of the sprays. C: air compressor; PV: water-filled pressure vessel; M1, M2:
manometers; R: pressure regulation valve; V: fast opening valve; N: nozzle.

peaking factor F with Ap. In the pressure range examined
(Ap = 2-8 bar), 0 goes through a maximum at about 3—
4 bar while F decreases monotonically with increasing
Ap, as was qualitatively confirmed by visual inspection
of the marks left by the impacting droplets on a surface
covered with a soft paste. In the limited range Ap = 2-8
bar considered here, the behaviour of G with Ap can be
fairly well approximated as a linear dependence.

The velocity of the droplets was assessed by measuring
the length of the tracks on still-frame video recordings of
the sprays. Fast exposure times (1/500-1/1000th s, as
controlled to + 1% by an electronic shutter) were used,
so that tracks 20-40 mm in length (real size) were
obtained for typical droplet speeds of 15-30 m/s. The
sprays were illuminated by a 1000 W lamp equipped with
a double slit collimator, which generated a 2 mm thick
light sheet containing the spray axis and orthogonal to
the optical axis of the camera. Only the droplets close to
the spray axis and 5-10 cm apart from the nozzle exit
were considered, so as to reproduce the conditions of the
droplets impacting on the target during the subsequent
thermal measurements. In these tests, a modest amount
(~1%) of milk was added to the water in order to
enhance the contrast of the droplet track images.

A large number of tracks (about a hundred) were
measured for each combination of nozzle type and upstream
pressure. Two typical resulting velocity distributions are
shown in Fig. 4(a); they are roughly Gaussian, with a
standard deviation ranging from 5-10% of the mean
value, according to the specific nozzle.

The mean velocities U computed from such dis-
tributions are reported in Fig. 4(b) as functions of the

pressure drop Ap for all four nozzles. Of course, they are
somewhat lower than the theoretical efflux velocity:

U=QAp/p)'”? 2
The velocity defect increases with increasing Ap, i.e., with
increasing exit turbulence level; among the different
nozzles, the largest deviations are observed for TG10, the
smallest for TGS.

As regards the droplet diameter, in a spray it is not
unique, but is rather a random variable which is often
assumed to follow a log—normal distribution. Unfor-
tunately, the accurate experimental determination of the
droplet size distribution is a complex task, involving
either the direct examination of photographic/video
recordings of the spray or indirect optical techniques
based on laser scattering and laser interferometry [5].
None of these methods was available in the present study.

For the Spraying System nozzles used in the present
study, the manufacturer provides the mean volume diam-
eter MVD, measured by small-angle light scattering, as
a function of the nozzle type and of the upstream pres-
sure; data are reported in Fig. 5. The quantity MVD is
defined so that half the spray volume is contained in
droplets of diameter less than MVD, and half in larger
droplets; it does not coincide with the diameter of drop-
lets having the average volume, but rather is related to
this, more conventional, quantity in a complex way which
depends on the exact statistical distribution of the droplet
sizes. In this study, MVD was identified to all practical
purposes with the mean diameter D of the droplets.

Figure 5 shows that MVD decreases with increasing
pressure drop (i.e., flow rate) and varies considerably
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Fig. 3. Results of the flow rate measurements. Total mass flow rate (a) and centerline specific mass flow rate at 50 mm (b) as functions

of the pressure drop for all nozzles.

among the different nozzles. In the present study, the
droplet diameter ranged from ~0.4 mm (nozzle TGI1,
Ap = 8 bar) to ~2.2 mm (nozzle TG10, Ap = 2 bar).
The correlation between droplet diameter and droplet
speed, as well as other aspects of the interaction between
droplets and between droplets and air, are complex
phenomena which could not be investigated in the present
study. However, at the short distance from the nozzle

outlet considered here (50 mm, i.e., from 23 to 125D), in
the authors’ opinion, very little size-dependent velocity
scatter is to be expected in the spray.

3. Heat transfer measurements

The target used in the present study, Fig 6(a), consisted
of two identical slabs of copper-beryllium (p = 8250 kg
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Fig. 4. Results of the droplet velocity measurements: (a) typical droplet velocity distributions; (b) mean droplet velocity as a function

of the pressure drop for all nozzles.

m ¢, =415Tkg ', 2 =100 Wm 'K '), each 40 x 50
mm in size and 1.1 mm in thickness, tightly pressed to-
gether by steel springs. The intrinsic time constant of the
target, (4/n) &*/a, was~16x 1073 s. For a typical heat
transfer coefficient / to the spray of ~50000 W m—2K ',
the Biot number 4d//. was ~0.5 and the overall cooling
time constant was of the order of 0.1 s [12].

A thin-foil copper-constantan thermocouple (Omega
‘cement on—style II’ type) was sandwiched between the
two slabs at the center of the target. Its junction, some
1 x 2 mm in lateral size, had a thickness of only 1/2 mils
(~ 13 um) and thus a negligible intrinsic time constant.
In order both to insulate it electrically from the slabs—

thus reducing noise in the signal—and also to protect it
mechanically, the thermocouple was wrapped in a thin
Teflon foil, some 5 um in thickness. The overall con-
ductive time constant of the package was estimated to be
only a few ms, i.e., far less than the characteristic time
constants of the cooling transients.

The device used for the heat transfer measurements is
sketched in Fig. 6(b). The target, mounted on a sliding
frame, was first brought to a uniform temperature (typi-
cally ~300°C) by thermal radiation from a cluster of
nichrome resistance heaters, disposed symmetrically on
both sides of the target and at a distance of a few mm
from it. Once the required steady-state conditions were
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Fig. 5. Mean volume diameter of the droplets as a function of pressure drop for all nozzles (based on data provided by the manufacturer).

attained, the target was rapidly moved out of the heated
region and a fast-action spherical valve was sim-
ultaneously opened on the water circuit, thus allowing
two identical sprays to hit both surfaces of the target.
The use of a symmetric target and of symmetric cooling
by twin sprays allows one to assume symmetry, i.e., null
heat flux conditions in the midplane during the tem-
perature transient, thus making the value of the contact
resistance between the two slabs immaterial and sim-
plifying the following analysis (see below).

In all the present tests, the nozzle-target distance X
was 50 mm. The water was kept at ambient temperature
(~20°C) in the pressure vessel, and a small amount of
water (insufficient to create a proper spray cone) was
allowed to flow out of the nozzles also in the target heat-
up phase in order to cool the part of the circuit lying
within the heating box, thus preventing significant vari-
ations in the exit temperature of the sprays.

During the cooling transient, the central temperature
of the target was recorded by a high speed LAB-NB
A/D converter, manufactured by National Instruments,
connected to a Macintosh-IIx computer. Acquisition was
controlled by the NI LAB-VIEW package. The interval
between readings varied from 0.5 to 1.25 ms, so that the
entire transient (whose duration ranged from ~0.4 to

~ 1 s) was described in all cases by 800 points. An inde-
pendent thin-foil thermocouple, exposed to the spray in
the close proximity of the target, was used to trigger the
acquisition startup at the arrival of the first droplets.

4. Data smoothing and analysis

‘Raw’ recordings of the central temperature of the
target during the cooling transients are reported in Fig.
7 for all nozzles and pressure drops of 2, 4 and 8 bar.

As shown in Fig. 8 (which is an enlargement of the
initial part of the thermal story recorded for nozzle TG5
at Ap = 2 bar), raw data are affected by fluctuations
which may include truly random noise and interferences
from the 50 Hz grid supply. Thus, independent of the
specific mathematical technique used in the following
analysis, some smoothing of the data is required if the
numerical computation of first- or higher-order deriva-
tives has to be performed.

Three alternative smoothing techniques were tested: a
simple nine-point running average, a Gaussian filter with
width ¢ = 3 intervals between consecutive data, and a
more sophisticated smooth-spline technique imple-
mented in the computer package MATHLAB.
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nozzle device used for the spray cooling tests.
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Fig. 7. Midplane temperatures recorded for all nozzles and three values of Ap (2, 4 and 8 bar) during the cooling tests.

Figure 8 compares the ‘raw’ time series with the smooth
curves corresponding to the three above techniques.
Nine-point averaging and Gaussian filtering yield very
similar results, while the smooth-spline curve, although
more regular in look, tends to depart excessively from
the experimental points, and thus is likely to smooth away
not only noise, but also physically meaningful features of
the cooling curves. For this reason, which will be better
clarified later, the Gaussian filtering technique was pre-
ferred.

Once the ‘raw’ experimental data on the central tem-
perature of the target have been replaced by the smooth
approximation y(#), an inverse heat conduction problem
can be formulated, in that the wall temperature 7, and
the wall heat flux ¢,, have to be determined from a knowl-
edge of the central (smoothed) temperature y(f) and, of
course, of the initial conditions. Inverse problems have
received considerable attention due to their ubiquitous
occurrence in experimental heat transfer research, and a
number of numerical techniques for their solution have
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been presented in the literature [13, 14]. In the present
case the geometry of the problem is simple enough for an
analytical, formally exact, solution to exist.

In fact, by neglecting the time lag between the thin-
foil, Teflon-wrapped thermocouple and the surrounding
material (copper), treating the problem as one-dimen-
sional (see sketch in Fig. 9), and limiting the following
analysis to the right half of the slab (positive values of
x) for symmetry reasons, the transient heat conduction
equation reduces to:

oT T
P o 3)
with boundary conditions:

oT
<6x>0 - @
7(0,0) = y(1) (5)

both imposed at the midplane x = 0, and initial con-
ditions:

T(x,0) = T° (uniform) (6)
The unknown quantities to be computed are:
T(1) = T(3.,1) (7

(instantaneous wall temperature), and

0
4u(0) = — (%) ®)

(instantaneous wall heat flux), from which the cooling
curve ¢, = f(T,,— T) can be obtained.

The inverse heat conduction problem in the slab, for
the case of constant «, was given a formal analytical
solution as early as in 1889 by Stefan [15]. For the present
configuration, Stefan’s solution reduces to:

0 x2n dny
T(x,0) = y() + 9
(0 =30+ Y G 9)
for which, in particular, one has:
1 dy 1 ,d%
T.(1) = T4+ 1 1
(D) y(l)—i-zrdl + 24" 4 + (10)
Ao dy 1 ,d%
qw(l)——é{rd[+61’ dtz—l—... (11)

where t = §*/a is proportional to the conductive time
constant of the slab.

Although eqns (10) and (11) are formally exact solu-
tions of the inverse heat conduction problem, they are of
limited applicability since higher-order derivatives of
data affected by noise and experimental uncertainties are
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Fig. 9. Inverse heat conduction problem for the slab: sketch of
one-dimensional model with convective boundary conditions.

hard to evaluate (even if the best available smoothing
techniques are employed). Fortunately, both series con-
verge rapidly and, in most cases, it is sufficient to truncate
them to just a few terms.

This is shown in Fig. 10, which refers to nozzle TG1
and Ap =4 bar; the smoothed midplane temperature
(1), which is also the zeroth order approximation for T,
in eqn (10), is compared with the corresponding first and
second order approximations. Clearly, under the present
conditions the term containing the first derivative dy/d¢
is significant (up to ~30°C for the case shown) and thus
cannot be neglected, coherently with the fact that the
Biot number is not much less than 1. The inclusion of the
term in d2y/d7 yields only a further correction of only
~1°C, as shown in the enlargement of a small tract of
the curves in graph (b), and thus can be safely omitted.

Similarly, the term containing the second derivative of
y(#) in eqn (11) results only in a minor contribution to
the wall heat flux and can be neglected. Therefore, in
analyzing the experimental data only the first two terms
of eqn (10) for T, and the first term of eqn (11) for ¢,
were retained.

Figure 11 compares the wall heat flux/wall temperature
characteristic curves obtained by the above procedure for
the same test case (TGS, 2 bar) using the three alternative
smoothing algorithms discussed earlier. Clearly, the
smooth-spline technique leads to an excessively fea-
tureless curve and to a considerable reduction of the
maximum heat flux. The other two techniques yield
characteristic curves which maintain the same basic fea-
tures; however, the simple nine-point averaging leaves
too much noise in the data, while this is canceled more
effectively by Gaussian filtering. This justifies why the

last technique was preferred for the subsequent analysis
of the experimental data.

5. Wall heat transfer—wall temperature curves

During the very first instants of the cooling transient,
until the hot wall has been completely wetted by the
droplets, the hydrodynamic impact conditions are clearly
not fully developed. Therefore, the corresponding data
were excluded from the subsequent analysis. This initial
‘dead period’ was arbitrarily identified with the time

tb = pD/G (12)

that would be required for a water layer having a thick-
ness equal to the droplet diameter D to be deposited on
the wall if one could neglect vaporization, rebound and
fall under gravity.

The ‘dead period’ given by eqn (12) depended on the
test conditions and, for each nozzle, was larger for lower
upstream pressures (yielding larger drops and smaller
flow rates). In the range examined, ¢, varied between
~12.5 ms (nozzle TG10 at Ap = 8 bar, with D ~ 1 mm
and G ~ 80 kg m~?s~') and ~100 ms (nozzle TGI at
Ap =2 bar, with D~ 1mmand G~ 10kgm~2s™}).

Curves reporting the wall heat flux ¢,, as a function of
the wall temperature 7, both quantities being computed
from the ‘raw’ experimental data by the smoothing and
inverse conduction algorithms discussed in the previous
Section, are reported for all four nozzles and different
values of Ap (2, 4 and 8 bar) in Fig. 12.

These cooling curves share a number of noteworthy
features. They all exhibit a broad maximum, ranging
from ~4-~12x 10" W m~? according to the nozzle and
to the pressure drop across it, which is attained for a wall
temperature of 130-170°C. Also, all curves exhibit an
almost linear tract (g,, proportional to T,,— T}) for tem-
peratures below ~100°C, i.e., under single-phase con-
vective conditions.

Of particular interest are the following quantities:

e the maximum, or critical, heat flux ¢., theoretically
corresponding to the condition of departure from
nucleate boiling, and the associated wall temperature
Tone;

o the heat transfer coefficient 4, i.e., the ratio of ¢, to
T,— T, in the single-phase heat transfer region
(Ty < Ty + ATy, AT, being an appropriate wall
superheat).

In principle, these quantities can be graphically derived
from each cooling curve as shown in Fig. 13, which is
relative to nozzle TG2 and Ap = 4 bar. However, a prob-
lem arises in deriving the single-phase heat transfer
coefficient / because of the residual oscillations, clearly
visible in Figs 12 and 13, which the smoothing procedure
is not able to eliminate, especially in the low-temperature
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range of the cooling curves. Noise is large in this region
because the numerical derivation errors in the computed
wall heat flux, eqn (12), become relatively larger when
the (smoothed) midplane temperature y(¢) approaches
its asymptotic value T7.

Therefore, an alternative method was used to compute
h. It is based on the fact that the exact solution for the
midplane temperature in a slab during transient cooling
at constant Biot number [12] can be approximated to a
very accurate extent by the single exponential:

t—r*

= (13)
T

T=T+(T*—Ty)exp —

in which the overall cooling time constant t* is related
to the intrinsic (conductive) time constant t = §*/a by
* =(0.38+Bi"") 1. In eqn (13) ¢* is the time at which
cooling begins, 7% is the (uniform) temperature of the
slab at time #* and T;is the (constant) temperature of the
cooling fluid.

Therefore, if the experimental (smoothed) tem-
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peratures y(z) obtained in the single-phase heat transfer
region are best-fitted by an exponential of the form (13),
with t* as the only ‘free’ parameter, the Biot number can
then be computed as:

. T
Bi=

T r*—0.387 (14)

from which & = Bi A,/6.

The above procedure was applied choosing as the
instant ¢* that for which the wall temperature 7,,, com-
puted from the smoothed experimental series y(¢) via eqn
(10), crossed the saturation temperature of 100°C. Of

course, the value of y(¢) for t = * was used as the tem-
perature T*.

The cooling time constant t* can be determined most
easily if y(f)—T; is plotted against time in semi-log-
arithmic form; an example is given in Fig. 14 for the two
extreme cases of nozzle TG1 at Ap = 2 bar and nozzle
TG10 at Ap = 8 bar.

A questionable approximation is that eqn (13) holds
for an initially uniform temperature of the slab, while in
the present case single-phase heat transfer begins after a
rapid cooling with boiling heat transfer, so that the solid’s
temperature is far from uniform at that instant. However,
it can be shown that the associated error is of the order
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of d*T/d#* and thus, as remarked in discussing eqns (10)
and (11), is negligibly small.

6. Results, correlation and discussion

The resulting values of /, ¢., and Tpyg can now be
correlated with the relevant hydrodynamic characteristics
of the sprays. On the basis of dimensional analysis and
simple physical considerations, heat transfer was
assumed here to depend only on the hydrodynamic par-
ameters G, U and D (all defined in the previous sections).
The liquid subcooling was not made to vary in the present
tests and its influence was not investigated.

It should be observed that it is appropriate here to
correlate heat transfer with the specific mass flow rate at
the centre of the impingement area, G, rather than with
the surface- or angle-averaged specific flow rate on the
target. The reason is that, due to the small thickness of
the target as compared with its lateral dimensions, the
response of the thin-foil thermocouple is related to the

heat flux attained in its immediate proximity, or, more
exactly, in a ‘spot of influence’ having a radius R such
that the time constant for lateral heat conduction, R/,
is of the same order of the total duration of the cooling
transient, tror. In the present tests, for tror &~ 1 s and
o =2.92x107° m?/s, one has R ~ 5 mm. This confirms
that it is appropriate to measure G by the method
described in section 2, i.e., in a central region ~10° in
half-opening and at the same distance of the target (50
mm).

Figure 15 reports the single-phase heat transfer
coefficient / as a function of G for all nozzles and all
values of Ap. For each nozzle, /& increases monotonically
and roughly linearly with G, as was stressed by connecting
the associated points with solid lines. However, the points
relative to different nozzles do not fall on a single line;
for a given value of G, /i increases significantly going from
the larger to the smaller nozzles, i.e., to larger values of
pressure drop Ap and mean velocity U and smaller values
of the droplet diameter D. Therefore, a significant influ-
ence of either D, or U, or both, is strongly suggested.
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A least square best fit of the data with a power-law
function of the form & = CG*U’D? gave the correlation:

h = 136G*81#y°#7 p=0966 (3]l quantities in SI units)
(15a)

with an rms deviation of 1924 (W m~2 K '), which is
only a few % of the mean value of /.

The above values of the exponents o, f and y show that
most of the nozzle-to-nozzle variation of / for any given
flow rate is to be attributed to the different velocity of
the impinging droplets, their size playing only a minor
role (which may well be a statistical artifact due to the
small number and to the uncertainty of the measure-
ment). Moreover, the close exponents of G and U suggest
to express /1 as a function of their product GU, which has
the physical meaning of momentum flux on the impact
surface. The resulting best-fit correlation becomes:

h ~206(GU)*** (all quantities in SI units) (15b)

for which the dispersion is only slightly higher than for
eqn (15a) (rms deviation ~1956 W m~2K ~'). Eqn (15b)
was plotted in log—log form in Fig. 16; it can be seen that
the results for different nozzles now collapse well near a
single line. All results fall within +6% of the above
correlation.

As regards the maximum wall heat flux ¢, (which can
be identified with the critical heat flux corresponding to
departure from nucleate boiling in the Nukiyama curve,
see Fig. 13), overall data are reported for the various
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Fig. 15. Single-phase heat transfer coefficient /i as a function of the axial specific mass flow rate G for all nozzles and all values of Ap.
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nozzles and Ap in Fig. 17. The overall behaviour is similar
to that relative to A, see Fig. 15; ¢, increases with G for
any given nozzle while, for a given G, it is larger for
smaller nozzles (i.c., for smaller droplet diameters and
larger droplet velocities). However, results appear far less
regular than those for /. A least square power-law best
fit using again G, U and D as the independent variables
gave the correlation:

q. = 0.601 % 106G0.26 U0.44D—0.068
(all quantities in SI units) (16a)

The root mean square deviation associated with eqn (16a)
was 7.8 x 10° (W m~?), which is about 10% of the average
value of g..

The exponents of G and U suggest to express ¢, as a
function of GU? which has the physical meaning of kin-
etic energy flux on the impact surface. Moreover, as for
h, the overall dependence of ¢. on D is very small and
can be neglected. The following best fit correlation is thus
obtained:

g. ~ 0.869 x 10°(GU?)"2**  (all quantities in SI units)
(16b)
This was represented in log—log form in Fig. 18. The data

do not collapse well around a single curve as it happened
for h; however, eqn (16b) approximates all data to within

+22% with an rms deviation of ~8.0x10° (W m~?),
i.e., only slightly higher than for eqn (16a).

As regards the wall temperature at which maximum
wall heat flux was obtained, corresponding to the tem-
perature of departure from nucleate boiling (DNB) in
the Nukiyama curve, no clear trend could be observed in
the results, see Fig. 12, and all that can be said is that it
ranged from ~ 130-~170°C in all cases.

7. Conclusions

An experimental investigation was conducted on the
cooling of hot walls by liquid water sprays by using a
transient technique. Different nozzles of the swirl-spray
type were tested, and attention was focussed on the
nucleate boiling and single-phase heat transfer regimes.
Unusually high specific mass flow rates (up to 80 kg m 2
s~ ') were considered, yielding extremely high surface heat
fluxes (above 107 W m~?) and extremely rapid tem-
perature transients (above 10°°C s™'). The choice of sym-
metric cooling and Gaussian smoothing of the exper-
imental time-temperature stories recorded by a single
central thin-foil thermocouple made it possible to solve
the associated inverse heat conduction problem by a suit-
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able truncated form of Stefan’s analytical solution for
the slab.

Wall temperature/wall heat flux curves thus calculated
from the experimental data exhibited a clear maximum
corresponding to the critical heat flux ¢, which was
attained for wall temperatures between 130 and 170°C,
and a linear region corresponding to Newtonian, single-
phase heat transfer for wall temperatures below 100°C.
Both the maximum heat flux ¢, and the single-phase heat
transfer coefficient # were found to correlate with the
specific mass flow rate G and with the mean droplet
velocity U, while the droplet diameter D had only a minor
independent influence. A simple power law approximated
well the experimental results for /, while results for g
were more scattered and less well correlated by a single
simple law.

Since mass flux, drop velocity and drop diameter all
vary with the pressure of the nozzle, the interdependency
of these spray parameters has limited the freedom of their
choice and thus the investigation of their independent
effects. Therefore the results of this study, although valid
for the present type of setup and within the range of
parameters investigated, may not be generalized for other
setups and wider ranges of conditions. Further exper-
iments are currently in progress, in which the nozzle—
target distance is made to vary thus allowing the mass
flow rate to be changed without significantly altering the
droplet velocity and diameter distribution. This will help
to clarify the separate influence of the various spray par-
ameters.
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